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Theoretical Prediction of Dynamic Composite Material
Properties for Hypervelocity Impact Simulations 
these launches have generated a current man-made debris population consisting of approximately 10,000 objects larger than 10 cm, 100,000 objects between 1 and 10 cm, and tens of millions of particles smaller than 1 cm. Although efforts are being undertaken to mitigate the generation of additional space debris (e.g. [2] ), the pollution of key altitudes has already (in some cases) exceeded a critical density, i.e. even if no new launches were conducted, the number of debris objects will continue to uncontrollably increase as a result of collisions between existing debris bodies [3] . As such, the threat to operational spacecraft posed by the impact of space debris particles at hypervelocity continues to increase. Due to their potentially high speeds (e.g. from 11 to 72 km/s for meteoroids) and collision energies, the impact of space debris can be critical to mission safety. However, assessing the risk is difficult as only approximately 40% of impact conditions relevant for low-Earth orbiting (LEO) spacecraft can be experimentally reproduced. Numerical hydrocodes are commonly used in the support of experimental risk analysis programs as they are ideal for simulation of these highly dynamic,
shockwave-inducing events (e.g. [4] [5]). Furthermore, recent advances [6] [7] in the modelling of composite materials provide an improvement over existing capabilities by allowing the macromechanical description of orthotropic constitutive behaviour, non-linear equation of state, orthotropic non-linear irreversible strain, and individual material plane interactive failure initiation criteria. Application of these new capabilities in modelling the hypervelocity impact of aluminium fragments on Aramid/epoxy plates [7] and aluminium projectiles on carbon fibre reinforced polymer (CFRP)/Aluminum honeycomb (HC) sandwich panels (SP) [8] has shown the ability to reproduce many of the damage phenomena observed in experiments.
In previous applications of the advanced orthotropic composite material model for analysing hypervelocity impact events (e.g. [7] , [8] ), material data has been determined through experimental characterisation programs. As the directional performance of a fibre-reinforced polymer can be altered through composition, orientation of the constituents, and fibre packing geometry, full experimental characterisation is required for each new material configuration.
Subsequently, the time and expense involved in determination of accurate material data sets for application of the advanced composite material model can be prohibitive.
In this paper an analytical procedure is outlined that combines a number of shock physics and composite mechanics theories to derive a full set of material data for a space-representative
CFRP laminate. This procedure enables application of the advanced composite model in the simulation of hypervelocity impact on composite materials when experimental material characterisation is not viable. Although not intended to fully replace the need for experimental characterisation, the analysis procedure provides a means of performing material sensitivity studies in the first phase of satellite structural design that allows the quick and cost-effective comparison of the debris shielding performance of competing material configurations.
Advanced Orthotropic Composite Continuum Material Model
A new material model for composite materials was derived by Riedel and Clegg et al. [6] [7] to address material anisotropy, shock response and anisotropic strength degradation (damage) under impact loading. Key aspects of the model are reviewed herein.
Modelling basic orthotropic stiffness and shock response
A shock wave can be defined as a discontinuity in pressure, P, temperature (or internal energy, E) and density, ρ. Therefore, in the analysis of shock wave propagation within a continuum, and its effect on the continuum properties, equations are developed by considering regions immediately ahead (reference condition indicated by the subscript 0) and behind an infinitely thin shock. The conservation laws across a shock front were originally defined by Rankine and Hugoniot for fluids, and are defined as:
Conservation of mass:
where:
The Equation of State (EOS) is required to solve the conservation equations. For isotropic solid continua, the EOS is commonly expressed in the Mie-Grüneisen form:
where Γ is the Grüneisen gamma:
The functions p r (v) and E r (v) refer to the internal pressure and energy of the compressed material in terms of volume, and are generally known functions on some reference curve. For example, with the Hugoniot as reference:
The Mie-Grüneisen formulation of the hydrodynamic EOS describes the thermodynamic response of a material under shock loading (i.e. the material behaves like a gas or fluid, having no strength). During hypervelocity impact, pressures are generated that can exceed the strengths of impacting materials (projectile, target) by orders of magnitude [9] , thus the materials are effectively behaving hydrodynamically. However, there exist two regimes -far field and late time -where strength effects may be important. As the impact-induced stresses decrease with distance from the impact location, there may be far-field regions in the target where local stress levels are of the order of material strength or lower. Furthermore, as the projectile is slowed within the target the impact-induced stresses will also decrease. If the target is sufficiently thick, the stresses may decrease to the level of magnitude (or lower) of the material strength.
Description of the strength effects under shock loading is referred to as constitutive modelling.
Historically, the thermodynamic (EOS) response of a material and its ability to carry shear loads (strength) were dealt with separately by partitioning the strain into volumetric and deviatoric components. However, for anisotropic materials this approach is unsuitable, as (from [10] ):
• Strain is not uniform in all three (principal) directions under hydrostatic pressure, and;
• Deviatoric strain will produce volumetric dilation since the coefficients in the stress/strain relation are not all equal.
A new formulation of the EOS for composite materials that provides a coupled deviatoric and volumetric response was derived by Anderson et al. [10] and takes the form: 33  33  23  13  22  32  22  12  11  31  21 
The volumetric portion of Eq. (6) can be expressed by a polynomial formulation of the MieGrüneisen EOS: For μ > 0 (compression):
The polynomial formulation of μ in Eq. (8)- (9) is an alternate means of describing the Hugoniot pressure, p H . The material constants K i must then be correlated with the Hugoniot parameters in order to approximate the values of the shocked material parameters. In the case of a material with a linear shock velocity-particle velocity relationship (i.e. Hugoniot curve in the U s -u p plane), the parameters K i of the polynomial relationship can be calculated using:
For an isotropic Hookean material, Eq. (10) is equivalent to a linear EOS, where K 1 represents the bulk modulus of the material. For an anisotropic material, to ensure consistency in the elastic regime, the bulk modulus is considered as an "effective" or "average" bulk modulus
and is defined from the orthotropic stiffness matrix [C]: 
The second part of the polynomial expression (Eq. (7)) is associated with shock conditions located off the Hugoniot curve and is formulated using two parameters to distinguish the density dependence of the Grüneisen gamma, Γ, where:
and 
The nine a ij coefficients are referred to as plasticity coefficients, and are used to describe the amount of anisotropy in plasticity, while k is a state variable defining the instantaneous value of the limit surface. In the quadratic yield function a so-called master effective stress-effective strain curve is defined. The nine plasticity coefficients are then capable of collapsing specific loading conditions onto the master curve, and thus the plasticity of an orthotropic laminate in any 3D loading case can be determined.
Modelling failure initiation
For impact loading on reinforced composite materials, the dominant modes of damage are:
delamination caused by through thickness strain, shear strain causing matrix cracking, and fibre failure. These damage modes lead to a reduction in the load carrying capability of the material, which is referred to as softening. To account for the anisotropic nature of these damage modes, modified forms of the well-known Hashin criteria which include out-of-plane shear stresses for fibre failure and matrix cracking are used to evaluate failure initiation [12] :
NOTE: Initiation criteria only applied in tension
If one of the failure criteria are exceeded (
), the orthotropic post-failure softening model is activated.
Modelling non-linear softening
When the state of stress is calculated to lie outside the limit surface defined by Eq. (16) an inelastic strain increment is accumulated as crack strain, ε cr . The maximum stress that can be sustained by the laminate is reduced as a function of crack strain (damage), according to:
where An experimental program (described in [8] ) was used to characterise the properties of a spacerepresentative CFRP laminate for implementation in the advanced orthotropic composite material model. Details of the laminate are given in Table 1 . In the following section, the theoretical procedure for derivation of CFRP dynamic properties is applied to this laminate. In the absence of manufacturer-supplied material data, constituent (fibre and matrix) product data sheets represent a starting point for derivation of composite laminate mechanical properties. Micromechanical theories can generally be classified into elastic or strength theories.
Although no single elastic or strength theory receives universal application, the accuracy of
micromechanics for predicting the elastic properties of composite lamina is widely accepted. To identify the elastic micromechanics theory best suited for predicting the properties of spacegrade CFRP composite laminates, six of the most common theories are subject to a critical review: mechanics of materials [13] ; semi-empirical approach [14] ; self-consistent field [15] ; equivalent inclusion method [16] ; method of cells [17] , and; bridging method [18] .
The critical review is performed by evaluating the predictions of the six theories for three freely available carbon fibre/epoxy composite material data sets: IM6/3501-6 (V f = 63.5%) [19] , T300/BSL914C (V f = 60%) [20] , and AS4/3501-6 (V f = 60%) [20] . The accuracy of the six micromechanics theories for predicting the elastic properties of the three carbon/epoxy composites considered is assessed in two ways: 1) a direct calculation of the average error (%), and; 2) a Rule of Measure (ROM) which ranks the theories according to their prediction for each elastic property of each material. In each case, the theories are ranked from best to worst and assigned a score ranging from 1 (best) to 6 (worse). A summary of the accuracy evaluation is given in Table 2 . With both evaluation methods Huang's bridging method provides the best overall agreement with the reported quasi-static composite material propeties. 
Once the elastic properties of the composite material are known, Classical Laminate Theory (CLT) provides the means to determine the elastic behaviour of composite laminates within the framework of the following assumptions:
• Each ply in the laminate is quasi-homogenous and orthotropic;
• The laminate is thin with lateral dimensions much larger than its thickness;
• The laminate is loaded in a state of plane stress (i.e. σ z = τ xz = τ yz = 0);
• There is no transverse shear.
CLT assumes a state of plane stress to enable derivation of the in-plane properties without the need for consideration of the through-thickness behaviour of the laminate. To derive the laminate out-of-plane properties, Hooke's law for an orthotropic composite can be used as it uses a transformation matrix which is a factor of the stress tensor (and therefore considers through-thickness effects), i.e.:
For plane stress (CLT), 
where k -individual ply index t ply,k -thickness of ply k n -total number of plies t lam -total thickness of the laminate
For the UMS2526/Krempel BD laminate defined in Table 1 , the orthotropic stiffness properties have been calculated using constituent properties listed in Table 3 with the micromechanical
bridging model, CLT, and Hooke's law. The calculated properties (see Table 4 ) show reasonable agreement with experimentally characterised values, particularly the in-plane parameters. However, given the uncertainties in estimating unknown constituent properties, the agreement is considered good. 
Shock response
The shock response of the CFRP laminate is defined by Eq. (6), incorporating a coupled deviatoric and volumetric strain response. The volumetric response (EOS) is expressed using a polynomial form of the Mie-Grüneisen EOS (Eq. (7)). In this case, it is assumed that shock response under compression and tension is the same, and therefore A 1 ' = T 1 and A 2 = T 2 .
Flyer plate impact tests on isotopic materials allow shock and particle velocity properties to be deduced, from which the reference curve (generally the Hugoniot) can be defined. However, as a result of the coupled strain response, these tests are not accurate for anisotropic materials and should only be used for validation of complete numerical models via a comparison of rear side velocity-time signals. A theory for the direct derivation of the coefficients in the polynomial [27] which demonstrate the relationship between plastic damage and reduced wavespeed (dispersive plastic phase). It is considered that a similar phenomenon is measured in the CFRP samples, resulting in decreasing shock velocity measurements for increasing particle velocity below the onset of shock wave generation.
The p-wave soundspeed of the three laminates was measured via ultrasound as 3100 m/s, 2900 m/s, and 2800 m/s respectively. A linear best fit is made to the normalised experimental data (considering particle velocities above 500 m/s), shown in Figure 2a . The linear curve is defined as:
Using the generalised U s -u p relationship (Eq. (21)) and a measured p-wave soundspeed of 2800 m/s, the polynomial equation of state parameters for the UMS2526/Krempel BD CFRP laminate are calculated from Eq. (10)- (13) . Additionally, the Grüneisen gamma is calculated using the approximation proposed in [28] : (22) A comparison with the experimentally-determined parameters is made in Table 5 . The principle differences between the calculated and measured equation of state parameters lie in the quadratic and cubic compression modulii (A2, A3), and the Grüniesen gamma terms (B0, B1).
The experimental values of A2 and A3 were set to zero as it provided the best overall response with all types of planar plate impact tests performed in [8] . Hugoniot reference curves defined by the parameters in Table 5 are shown in Figure 2b . The calculated curve shows a non-linear increase with compression, whereas the experimental curve shows a constant linear relationship.
Characterising irreversible, non-linear damage
Similarly to the orthotropic elastic properties, prediction of laminate irreversible plastic damage begins on a micromechanics level. For the prediction of strength, there exist significantly more micromechanical theories than for elasticity; however they are less accurate in general and subsequently less widely accepted. Strength characteristics of composite materials are very sensitive to pre-existing material defects, which must be considered in any strength-based model. In the derivation of material stress, integrated averages are usually expressed for the material volume, smoothing the local stress and strain perturbations. However, in mechanical testing of composite materials, failure initiation often occurs in defective regions, thus their effect is very significant. Two simple strength models are assessed for their accuracy in predicting the strength properties of the three CFRP composites used previously: the strength equations of Chamis [13] and a continuation of the bridging model [18] . In the following X, Y and S xy refer to strength in the longitudinal, transverse, and in-plane shear directions respectively. The subscripts t and c indicate tensile and compressive strengths, respectively.
The average variance of the micromechanics strength predictions from the measured properties of the three CFRP composites is shown in Figure 3a . The strength of materials predictions provide better agreement with the measured properties that those of the bridging model, with the exception of longitudinal compression strength, X c . Similar to the elastic models, the accuracy of the methods is found to depend on the material data source. In the strength of materials theory, longitudinal compression strength is calculated as the minimum of three 
where m σf is the mean magnification factor of the transverse stress (fibre).
The IFF criterion is based on the Mohr failure criteria. Three IFF modes (A, B and C) were identified by Puck, and are used to generate a so-called master fracture curve, shown in Figure   4 . Mode A corresponds to failure under applied transverse tension or in-plane shear; mode B corresponds to a longitudinal shear failure under high applied shear stress and moderate transverse compression stress; and mode C describes failure that occurs on an inclined fracture plane under a combination of high applied transverse compression and shear stresses. These modes are described mathematically as: Puck's theory is used to calculate the in-plane stress-strain performance of the composite laminate, using the constants given in Table 6 . The onset of non-linear, irreversible damage is defined in the advanced orthotropic composite material model by a quadratic yield function [11] . To describe the limit of reversible loading, the yield function requires a master effective stress-effective plastic strain curve and nine plasticity coefficients which define the degree of anisotropy of the hardening surface. For the UMS2526/Krempel BD laminate, the laminate 22-direction is used to define the master curve (thus, the corresponding plasticity parameter a 22 = 1.0). The remaining in-plane plasticity parameters are using Poisson's ratios calculated from the derived in-plane σ-ε curves: 
The remaining in-plane and shear plasticity parameters can be defined by simplifying the elastic-plastic stress-strain performance of the laminate under the relative loading conditions to either perfectly elastic ( 
The plasticity coefficients a 13 and a 23 are approximated using idealised assumptions, e.g. under loading in the 22-direction, the laminate Poisson's ratio is adopted for the plastic Poisson's ratio, effectively defining a rate of transverse plastic strain equal to the elastic transverse strain once the 1 st yield condition has been fulfilled. Under loading in the through-thickness direction, minimal plastic strain is expected in the 11-direction due to the high axial stiffness of the fibres,
The calculated irreversible, non-linear damage properties of the UMS2526/Krempel BD laminate are listed in Table 7 , compared to those determined experimentally in [8] . The theoreticallyderived master curve shows significantly higher effective stress values than the experimentallydetermined values as a result of the higher predicted directional strength. These higher effective stress values result in higher out-of-plane shear stress plasticity parameters (a 44 and a 55 ) as well as a higher through-thickness plasticity parameter (a 33 ). The effect of these variations can be considered by visually comparing the defined failure surface. However, as the quadratic yield function is six-dimensional in stress space, it is impossible to visualise the described surface. By simplifying the yield function to consider only normal (Eq. (31) Figure 5a shows the theoretically-and experimentally-derived limit surface defining the onset of non-linear irreversible strain in normal stress space. Although both surfaces form a closed ellipse, the experimentally-derived surface is significantly more elongated than the theoretical surface. This is due to an assumption in the experimentally-characterised data set of no plastic strain in the material 11-direction, which ensures directional failure occurs prior to the onset of inelastic strain. For the theoretical data set, a small degree of plasticity was predicted.
The curves shown on the failure surfaces in Figure 5a correspond to cross section plots, an example of which is given in Figure 5b for the theoretical data set at σ 33 = 0. 
Characterising failure initiation
In [8] uniaxial quasi-static tensile tests were used to determine laminate in-plane strength properties. However, for the through-thickness tensile strength, dynamic spall flyer plate impact tests were performed in which the loading rate (impact velocity) varied from 159 m/s to 1073 m/s and an average value, based on the three best spallation signals, was defined (shown in Figure 6 ).
This average dynamic tensile strength is significantly higher than what would be expected for a quasi-static though thickness tensile test. It is considered that the through-thickness tensile strength is limited by the allowable tensile strain in the matrix, which varies dependent on loading rate (see e.g. [31] ), resulting in the varying spallation strengths measured in [8] . Unless dynamic loading conditions equivalent to those induced during hypervelocity impact can be generated, the definition of dynamic tensile strength in the through-thickness direction is somewhat arbitrary. For the theoretical derivation, the through-thickness tensile strength is estimated as a quasi-static property, based on the methodology for calculating the transverse
tensile strength of a unidirectional laminate in [32] . A maximum tensile strain of 2% is adopted for the Krempel BD epoxy resin.
max 33
E m ⋅ = ε σ (33) In [13] micromechanics equations for calculating the longitudinal and transverse interlaminar shear strengths of unidirectional laminates are presented:
Longitudinal:
Transverse: The failure properties calculated for the UMS2526/Krempel BD laminate are given in Table 8 , compared to the experimentally-measured values. Significant variation is noted for many of the failure properties, particularly the tensile failure stress in the 22-direction. To a degree this is to be expected as (noted previously) the theoretical calculation of composite strength properties is subject to large variation due to the dependence of composite material strength on the presence of manufacturing defects. As such, although the applied theories have been selected based on their accuracy for similar materials, a significant degree of variation from experimentallymeasured values is to be expected. With the exception of σ 22 (223%), and τ 23 (169%), all strength predictions are within ± 50% of the experimental values. In the case of hypervelocity impact, in which impact pressures exceed material strengths by orders of magnitude, this is not expected to have a significant effect on the overall result of an impact simulation (i.e. structural perforation). However, the lateral extension of damage is expected to be adversely effected. 
Characterising non-linear softening
CFRP laminates usually fail in a brittle-type fracture mode, regardless of load direction, thus post failure "softening" is not applicable. However, in a macromechanic model the post-fracture softening must also incorporate the effects of geometric fracture. Under in-plane tensile loading CFRP laminates exhibit brittle failure, thus:
Tensile loading in the through-thickness direction is a matrix-dominated failure mode.
Experimentally, this fracture energy is determined in a double-cantilever beam (DCB) test. It has been shown in [8] that under this loading type, even for highly brittle epoxy resins, fracture is not instantaneous and therefore G f33 ≠ 0. For mode-I delamination of the laminate, the fracture energy of the epoxy resin is adopted, thus:
Under in-plane shear loading, the fracture of a multi-directional CFRP composite is similarly brittle to that observed under uni-axial tensile loading. In Figure 7 the results of uni-axial tensile tests performed on a bias [±45°] CFRP laminate to simulate an in-plane shear load are shown.
It is seen that upon reaching the laminate failure stress, the load-carrying capability of the laminate diminishes immediately to zero. Thus, it is reasonable to assume:
For transverse shear failure (mode II) a large databank of delamination fracture toughness values for laminates was compiled in [33] . The ratio of mode II to mode I fracture toughness for polymer composites is shown in Figure 8 . Although there is a large degree of scatter in the
polynomial fit, it is considered to be a reasonable approximation for the transverse (i.e. loading in the through-thickness direction) mode II fracture toughness. The polynomial fit is defined as:
where A' = 59.244 α = 0.4811
The calculated post-failure, non-linear softening properties of the UMS2526/Krempel BD laminate are shown in Table 8 , compared to those determined experimentally in [8] . Generally, a good degree of agreement is found. The experimentally-derived data set shows an increased fracture energy for out-of-plane shearing 23 than 31 (derived from ENF tests), probably as a result of the decreased fibre alignment in the 22-direction. The theoretical assumption, based on a relationship between mode I and mode II fracture energies of CFRP composites is unable to reproduce this difference. 
Application of the Material Model for Simulation of Space Debris Impact
Two hypervelocity impact experiments have been performed on EMI's two-stage light-gas guns to assess the effect of material data on the accuracy of numerical simulation damage predictions and the applicability of the theoretical derivation procedure.
Target set-up
Two experimental set-ups using the UMS2526/Krempel BD laminate were considered: (1) a CFRP/Al honeycomb sandwich panel with 1.37 mm thick CFRP facesheets and a 25mm thick Al honeycomb core, and (2) two 1.37 mm thick CFRP laminates with 25mm spacing between them. Target 1 was subject to oblique (60°) impact of a 1.775 mm Al-sphere at 6.095 km/s (EMI no. 4848), and target 2 was subject to normal impact (perpendicular to the target surface) of a 1.179 mm Al-sphere at 4.935 km/s (EMI no. 236). The two target configurations are shown in Figure 9 .
In Figure 10 a comparison between the experimentally-induced (both visual and ultrasonic) and numerically-predicted damage in on Target 1 (EMI no. 4848) is shown. On the experimental target a roughly circular perforation is observable on the front facesheet, with a number of small cracks are barely visible on the rear facesheet. The ultrasonic scan reveals more significant internal damage (delamination). The honeycomb core shows a damage cone biased to one side due to the oblique impact velocity vector (to right of page). The numerical simulation applying the experimentally-characterised data set from [8] shows a near-triangular shaped perforation hole in the front facesheet and two separate areas of damage are observable on the rear facesheet: one large perforation hole corresponding to debris ejected normally from the front facesheet, and a second smaller perforation biased in the direction of the impact velocity vector.
The damage to the honeycomb core is significantly less than that observed in the experiment.
The numerical simulation applying the data set derived from the theoretical procedure also shows a non-circular perforation hole in the front facesheet (although dimensions of the perforation hole are comparable with the experiment) and two separate perforation holes in the rear facesheet. The perforation hole dimensions and locations are similar to those in the experimentally-characterised numerical simulation.
In general, a comparison of the predicted damage in the two numerical models shows little difference. The experimentally-characterised data set predicts larger delamination in the front CFRP facesheet, agreeing more closely to the damage seen in the ultrasound image.
Conversely, the honeycomb core shows considerably more damage in the theoreticallycharacterised model than the experimentally-characterised numerical model, however it is still much less than that observed in the experiment. The reduced extension of damage in the numerical model honeycomb cores suggests the Al-foils of the honeycomb may have been modelled overly strong, restricting expansion of the fragment cloud and channelling the debris to a more localised area on the rear facesheet (which could justify the increased rear facesheet penetration damage prediction in the numerical model).
For the second impact test (EMI no. 236), damage induced by the normal impact of a 1.179 mm
Al-sphere at 4.935 km/s target 2 is shown in Figure 11 compared to the simulated damages using both the experimentally-and numerically-characterised data sets. The experimental result shows a clear perforation hole in the front facesheet and a small amount of cracking on the rear
facesheet. Ultrasonic scans of the rear facesheet show internal damage (delamination). Both numerical models show similar predictions, predicting a circular perforation hole in the front facesheet and no noticeable damage on the back of the rear facesheet. As with simulation of the oblique impact experiment, the numerical simulation using the experimentally-characterised data set shows significantly more delamination in the front facesheet than the theoreticallycharacterised model. This represents the major difference between the two models in predicting the damage induced by impact of a space debris particle at hypervelocity.
In Table 10 the damage measurements made from the experiment and numerical simulations are presented. As shown in Figure 10 and Figure 11 , the agreement between the experimental damages and numerical predictions are quantitatively acceptable with the exception of predicted perforation of the sandwich panel rear facesheet in EMI experiment 4848 which is considered to be a result of excessively channelling of projectile fragments by the overly-strong honeycomb core cell walls. The material EOS is defined as a polynomial formulation of the Mie-Grüneisen EOS, which uses an effective bulk modulus calculated from the stiffness matrix and polynomial terms derived
from a general EOS defined for CFRP laminates. The post-failure performance of the laminate is described in terms of a damage algorithm that requires directional fracture energies determined from approximated properties and a mode I:mode II fracture energy relationship.
A carbon fibre/epoxy composite laminate representative of those used in spacecraft primary structures has been used for verification of the derivation procedure. Towards this end a comparison between theoretically-and experimentally-characterised properties has been made.
The laminate elastic properties have been satisfactorily predicted to within ± 30% of the experimentally-measured values, however the strength parameters (particularly in the material 22-direction) were, in general, over-predicted. For the equation of state, differing assumptions by the authors from those used in definition of the experimental data set (from [8] ) led to differences in the polynomial terms and the degree of anisotropy in the hardening surface.
Numerical simulations of hypervelocity experiments on spaced CFRP dual-wall targets and honeycomb sandwich panels with CFRP facesheets were performed with the experimentallyand theoretically-characterised material data sets. In a comparison with experimental measurements, it was found that both numerical models were qualitatively able to reproduce impact processes and damages. For normal impact on a spaced dual-wall configuration slight cracking and internal delamination of the rear wall was observed in the experiment. Both numerical models showed no damage on the back face of the rear wall. For oblique impact on a CFRP/Al honeycomb sandwich panel small cracks and internal delamination were observed on the rear CFRP facesheet in the experiment. Both numerical models predicted a clear perforation result, however this over-prediction of damage may be the effect of overly-capable honeycomb core foils, which act to channel the fragment cloud. Quantitatively, the numerical simulations using the theoretically-characterized material data set were able to reproduce front facesheet damage measurements to within ± 50% of the experimental results. Rear facesheet damage extension was generally underpredicted, while penetration was conservateively predicted (however, this is influenced by the honeycomb core model). The numerical model incorporating the experimentally-characterized data set showed a slight improvement in front facesheet damage prediction (agreement to within ±30%) while rear facesheet predictions provided comparable accuracy with the theoretically-characterized material data set. This suggests that for this particular case the theoretical characterisation procedure provided a very reasonable 
